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Abstract

The presented study discusses a quantitative numerical approach for predict-
ing the fatigue crack growth in AA2198-T8 C(T)100 specimens containing
one line of laser heating. By heating the with a defocused laser residual
stresses are introduced and the fatigue crack growth is retarded. The de-
veloped methodology, which investigates coupling of the structural process
simulation, the extraction of the total stress intensity Ktot and the prediction
of the resulting fatigue crack growth rates by an empirical crack growth law
is stepwise validated on the basis of experimental results. The prediction is
found to be highly accurate. Special attention needs to be given to the qual-
ity of the process simulation results because the prediction of fatigue crack
growth is highly sensitive to the results obtained in this simulation step.
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Nomenclature

x, y, z position coordinates
T temperature
t time
δij Kronecker delta
ε strain tensor
εpeq cumulative plastic strain
u displacement vector
σ stress tensor
σeq von Mises stress
Q heat flux density
Q0 heat source amplitude
vy heat source travelling speed
α thermal expansion coefficient
E Young’s modulus
C,m, n material constant of the Walker Equation
c specific heat
ν Poisson’s ratio
ρ density
σys yield stress
λ thermal conductivity

a Crack length
da/dN fatigue crack growth rate
Fappl applied load
Gtot total energy release rate
Ktot total stress intensity factor
∆Ktot total stress intensity factor range
Rtot total stress intensity ratio
N number of load cycles
BM name prefix for base material results or area with base material properties
EXP name suffix for experimental results
FEM finite element method, also name suffix for numerical prediction results
HZ heating zone
HAZ heat affected zone
LH name prefix for laser heating results
MVCCT Modified Virtual Crack Closure Technique
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1. Introduction

As was demonstrated in an experimental study on the laser heating of
AA2198-T8 specimens [1], residual stresses induced in metallic structures
can have a significant impact on fatigue crack growth. Considering the grow-
ing interest in advanced manufacturing technologies for the production of
metallic integral airframe structures, such as laser beam welding or friction
stir welding [2, 3], this issue gained special attention [4–6] because residual
stresses are an unavoidable side effect of these technologies [7, 8]. Hence,
because precise predictions of fatigue crack growth are required for damage
tolerant design, several recent studies have addressed the prediction of fa-
tigue crack growth in integral aircraft aluminium structures including resid-
ual stress effects [4–6]. The approach that has found common acceptance
consists of the following steps [4, 6, 9–19]:

• Measurement of the component of the residual stresses that acts per-
pendicular to the crack growth direction.

• Extraction of the residual stress intensity factor Kres attributable to
internal stresses using, for example, the finite element method (FEM)
or the weight function method.

• Calculation of the total stress intensity Ktot = Kres + Kappl as the
sum of Kres and the applied stress intensity Kappl using the law of
superposition.

• Calculation of the fatigue crack growth rate da/dN by using Ktot in
an empirical crack growth law, such as the Walker Equation.

This general approach shows good results but has two major limitations
that need to be addressed. For cracks growing through compressive residual
stress fields, nonlinear contact corrections are needed to prevent a physically
unsound overlapping of the crack faces during the calculations [9]. Hence,
the application of the superposition law is no longer valid. The underlying
effects and their impact on the predicted fatigue crack growth rates have
been discussed in an earlier study [20]. In addition to issues regarding the
numerical approach, residual stress measurements are costly and difficult to
perform for complexly shaped or large specimens, and they normally deliver
only specific components of the stress tensor for the specific case that is being
examined.
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The study presented by Jang et al. [21] provided major input for the devel-
opment of an extended prediction methodology, since it described a strategy
to predict the observed fatigue crack growth retardation due to heating in-
duced residual stresses for steel specimens on basis of numerical process sim-
ulation results. However, the crack closure based fracture mechanics analysis
used does not describe the complex opening behaviour of the crack faces in
the residual stress field physically sound. Therefore, the achieved prediction
results only showed a qualitative agreement with the measurement results.

Another study pointing into a similar direction was published very re-
cently [22]. Here also structural process simulation was coupled with subse-
quent mechanical simulations for the calculation of Kres in a steel butt-weld.
However, the resulting crack growth rates were only predicted for one crack
length under different applied loads, the crack tip was situated in an area
of tensile residual stresses and the predicted crack growth rates were not
validated experimentally.

Motivated by these studies the extended methodology shown in Fig. 1
was developed, consisting of the following steps:

1. Use of a FE based process simulation to predict the transient heating
temperature field as well as the heating induced residual stresses and
distortions.

2. Extraction of the total stress intensity factor Ktot in a fracture me-
chanics analysis using the MVCCT approach. In this analysis step the
loaded model with predicted heating residual stresses and distortions is
incrementally cut open and a contact condition is added continuously
for the newly generated crack faces.

3. Calculation of the fatigue crack growth rate da/dN by using the ex-
tracted Ktot in an empirical crack growth law.

The implementation of this approach was realised using the programming
language Python for embedding the two commercial FE codes Sysweld and
Abaqus.

2. Prediction Methodology

Figure 2 shows the specimen geometry and coordinate system, which are
identical to those used in [1], where the results of the experimental investi-
gation on laser heating of AA2198-T8 C(T)100 specimens were presented in
detail.
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Figure 1: Steps in the extended approach with temperature field T (x, y, z, t), residual
stress field σ(x, y, z, t), displacement field u(x, y, z, t), cooling time tcool, crack length a,
applied load Fappl, total stress intensity factor Ktot(a, Fappl), total stress intensity factor
range ∆Ktot(a), total stress intensity ratio Rtot(a) and fatigue crack growth rate da/dN .
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Figure 2: Sketch of the specimen/model dimensions and coordinate system definitions as
used also in the experimental study [1]. All measures are given in millimetres. The origin
of the z-coordinate is located at the middle of the specimen thickness.
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2.1. Step 1: Process simulation

To predict heating-induced residual stresses, a coupled thermal and me-
chanical FE analysis was conducted. Thus, the influence of the temperature
on the mechanical response of the structure is accounted for by including the
thermal strains attributable to thermal expansions in the mechanical analy-
sis. However, coupling in the other direction, from the mechanical analysis to
the thermal analysis, has not been included [23]. This approach is commonly
used for structural simulations of welding processes [24–26]. A thorough
overview of the topic is presented, for example, by Radaj in [24]. For fur-
ther orientation, [25, 27] also provide some general discussion of the impact
of specific simplifications and modelling strategies on the achievable quality
of the results.

Although much research has been conducted in the past decades on the
simulation of steel welding, few studies have been published on its application
to aluminium aerospace alloys. However, in [28–30], for example, friction
stir welding of aerospace aluminium alloys was investigated. In [26, 31–
36], the resulting distortions and residual stresses after laser beam welding
of aluminium T-joints were predicted. In [37, 38], the fusion welding of
AA2024 butt joints was studied, and the impact of the testing conditions
used to gain the needed temperature-dependent material properties on the
prediction results was discussed.

2.1.1. FE mesh

Figure 3 shows the FE mesh used for the process simulation and the
extraction of Ktot. The mesh consists of approximately 40000 linear solid
elements and 50000 nodes, and it has the outer dimensions of the C(T)100
specimens used for the experimental studies (see Fig. 2). As shown in Fig. 3,
the specimen was modelled as a single piece of material, and for simplicity,
no fixture holes were modelled.

2.1.2. Thermal FE analysis

For the thermal analysis, a pure heat conduction model including heat
sinks and sources was used. The governing differential equation is given as
follows [23]:

ρ(T ) c(T )
∂T

∂t
− div (λ(T ) grad T )−Q = 0 (1)
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Figure 3: FE mesh built for the thermal and mechanical process simulation. The position
of the heating line in the thermal analysis and the areas for the clamping in the mechanical
analysis are indicated.

where are T the temperature, c the temperature-dependent specific heat, ρ
the temperature-dependent density, λ the temperature-dependent thermal
conductivity and Q the temperature- and/or time-dependent heat flux den-
sity (heat sources, boundary conditions).

The heat flux density into the model Qin has been modelled as a user-
defined Goldak ellipsoid volume heat source and can be expressed as a func-
tion of the space coordinates x, y, z and time t:

Qin(x, y, z, t) = Q0 exp

(
−(y − y0 − vyt)2

A2
− (x− x0)2

B2
− (z − z0)2

C2

)
(2)

where are Q0 the heat source amplitude, x0, y0, z0 the start position of the
heat source centre, A, B, C the heat source shape parameters and vy the
travelling speed of the heat source in y-direction.

The heat exchange between model surface and environment was defined
as a combination of convective and radiative heat loss [23]:

Qout(xs, ys, zs, T ) = −hc(T − Ta)− σrεr(T 4 − T 4
a ) (3)

where are xs, ys, zs the surface coordinates, T the absolute surface tempera-
ture, Ta the absolute ambient temperature, hc the coefficient of convective
thermal exchange, σr the Stefan Boltzmann constant and εr the thermal
emissivity.
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2.1.3. Mechanical FE analysis

For the mechanical analysis, elasto-plastic material behaviour with isotropic
hardening and an additive decomposition of the total strain increment dε
into an elastic strain increment dεe, plastic strain increment dεp and thermal
strain increment dεth was assumed [23, 39]:

dε = dεe + dεp + dεth (4)

The thermal strain increment dεth is expressed in terms of the thermal
expansion coefficient α and the temperature increment dT [23, 39]:

dεthij = αij dT δij (5)

where is δij the Kronecker delta.
During the calculations, the thermal strains are updated for each time

step on the basis of the results of the thermal analysis.

2.1.4. Material properties and boundary conditions

An important conclusion in the literature [26, 38] is that taking into ac-
count changes in the precipitation state attributable to the thermal history
and the resultant local softening leads only to very slight changes in the
predicted residual stresses in the weld area of single pass aluminium welds.
Therefore, these effects were neglected in the conducted simulations. How-
ever, neglecting these effects implies that temperature dependent material
properties are used that are representative for the examined process [38].

Figures 4 and 5 show the temperature-dependent material properties used
in the process simulation. Because no measurement data were available for
the used material AA2198-T8, most of the properties were adopted from
the internal Sysweld material database for AlSiMg. Since the temperature-
dependent yield stress and thermal conductivity influence the prediction re-
sults most [40], for these two properties more realistic values from the liter-
ature were used.

The thermal conductivity λ of AA2195 was taken from [28]. AA2195 is
like AA2198 also an Al-Li-Cu alloy. The chemical composition of AA2195
shows a similar Li content and approximately one weight percent more Cu
compared to AA2198 [41]. Hence, the thermal conductivity of AA2195 should
be in the same regime as the one of AA2198.

With regard to the used yield stress data the performed simulations
clearly indicated that plastic yielding during laser heating takes place only
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for T > 250 ◦C. Hence, the assumed yield stress for T > 250 ◦C gov-
erns the development of the residual stresses and not the room tempera-
ture values. Unfortunately, no measurement data for AA2198-T8 was avail-
able in this temperature range. Therefore, in the performed simulations the
temperature-dependent σys data published in [37] of the material AA2024-T3
was used instead. Table 1 gives a comparison of literature values for the σys
of AA2024-T3, AA2198-T8 and AA2195-T8 at different temperatures. At
room temperature the yield stress of AA2198-T8 is 150 MPa higher than
the one of AA2024-T3. However, it can be expected that this difference is
decreasing with increasing temperature as it can be found for the other Al-
Li-Cu alloy AA2195-T8. At room temperature the yield stress of AA2195-T8
is even 230 MPa higher than the one of AA2024-T3 while at T = 370 ◦C
only a difference of 9 MPa remains.

Table 1: Comparison of the yield stress of AA2024-T3, AA2198-T8 and AA2195-T8 for
room temperature (RT ) and 370 ◦C.

Material Temperature σys Source
AA2024-T3 RT 340 MPa [37]
AA2198-T8 RT 490 MPa [42]
AA2195-T8 RT 570 MPa [43]
AA2024-T3 370 ◦C 122 MPa [37]
AA2198-T8 370 ◦C - -
AA2195-T8 370 ◦C 131 MPa [44]

Table 2 shows the boundary conditions for the thermal analysis that were
adjusted iteratively to fit the thermo couple measurement results. Although
the peak temperatures reached in the simulations are dominated by the heat
source definition, the fade of the temperature after the heat source has passed
is directly related to the heat exchange with the environment.

Because the specimens were clamped onto a table during laser heating,
two thermal contact conditions were defined to describe the heat exchange.
For the top surface of the specimen (zs > −2.5 mm), which was only in
thermal contact with the surrounding air during laser heating, a value of
hc = 25.0 W/(m2K) was assumed. For the bottom surface of the specimen,
which was in thermal contact with the table (zs = −2.5 mm), a higher value
of hc = 75.0 W/(m2K) was found to deliver good results.
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Figure 4: Temperature-dependent material properties used for the (a) thermal and (b)
mechanical process simulations.
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The clamping conditions during laser heating were modelled in the me-
chanical analysis using elastic constraints on the nodes in the areas marked
in Fig. 3 on the top and bottom surfaces of the specimen. The chosen values
adopt results published in [45], obtaining a total spring constant of approxi-
mately 0.4 kN/mm for each clamping position in each direction.

To estimate the sensitivity of the prediction results with regard to the
heat source calibration as well as the thermal conductivity and yield stress
data a corresponding sensitivity analysis is given in section 3.

2.2. Step 2: Extraction of Ktot

For the calculation of Ktot, the deformed mesh and the full stress field
from the last time step of the process simulation are transferred to the FE
code Abaqus. The mechanical restart simulation in Abaqus assumes pure
linear elastic material behaviour with a Young’s modulus E = 73 GPa and
a Poisson’s ratio ν = 0.33.

The extraction of Ktot for different crack lengths was realised by cutting
the model open along the specified crack path. A hard contact condition was
added on the generated crack faces to avoid physically unreasonable over-
lapping [20]. Figure 6a shows the corresponding model. The displacement
boundary conditions and the external load Fappl were applied to single nodes
at the specified positions in the mid thickness of the model.
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Table 2: Boundary conditions for the thermal analysis

(x0, y0, z0) = (55.0 mm,−60.0 mm, 2.5 mm)
vy = 3.33 mm/s
A = 4.0 mm2

B = 4.0 mm2

C = 0.5 mm2

Q0 = 26.0± 1.0 W/mm3 (hatched light grey area in result figures)

hc =

{
75.0 W/(m2K) , if zs = −2.5 mm
25.0 W/(m2K) , if zs > −2.5 mm

σr = 5.67 · 10−8 W/(m2 K4)
εr = 0.8

The Modified Virtual Crack Closure Technique (MVCCT) illustrated in
Fig. 6b was used to extract the total energy release rate Gtot for each crack
length using the specimen thickness b, the nodal cutting forces Fy of the
crack tip nodes and the nodal displacements uy of the nodes located on the
crack faces at a distance ∆a behind the crack tip in Eq. (6). Further details
about that approach can be found, for example, in [15, 46, 47]. The total
stress intensity factor Ktot was then calculated using Gtot in Eq. (7):

Gtot =
1

2 · b ·∆a
∑

Fy · uy (6)

Ktot =
√
Gtot · E (7)

Equation (7) is based on the plane stress condition.

2.3. Step 3: Calculation of the fatigue crack growth rate da/dN

Under cyclic loading with the maximum applied load Fmax and the min-
imum applied load Fmin, the conditions at the crack tip can be described
using the total stress intensity factor range ∆Ktot given in Eq. (8) and the
stress intensity factor ratio Rtot defined in Eq. (9).

The presence of residual stresses can lead to changes in both ∆Ktot and
Rtot. Hence, an empirical crack growth law is needed for the prediction of the
fatigue crack growth rate da/dN that is sensitive to both ∆Ktot and Rtot.
In this study, the Walker Equation [48] given in Eq. (10) was used.
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The number of loading cycles N for reaching a specific crack length a was
then calculated by the numerical integration of the inverse of the predicted
da/dN as defined in Eq. (11).

∆Ktot = Ktot(Fmax)−Ktot(Fmin) (8)

Rtot = Ktot(Fmin)/Ktot(Fmax) (9)

da/dN = C
[
∆Ktot [1−Rtot]

m−1]n (10)∫ N

0

dN =

∫ a

a0

(
C
[
∆Ktot [1−Rtot]

m−1]n )−1 da (11)

To calibrate the Walker Equation for use with AA2198-T8, five fatigue
crack growth tests were performed on five base material specimens (two spec-
imens R = 0.01, two specimens R = 0.1 and one specimen R = 0.7). The
resulting best fit for the material constants gave C = 1.15· 10−10 m/cycle,
n = 2.80 and m = 0.665.

3. Results and Discussion

In the following sections, a stepwise validation of the numerical simulation
results is conducted on the basis of experimental data [1]. Where needed,
the lateral extension of the heating zone (HZ), the heat-affected zone (HAZ)
and the areas with base material properties (BM) estimated on basis of the
measured micro hardness (see [1] and Fig. 8) are indicated in the figures.
Additionally, the sensitivity of the prediction results with regard to the heat
source amplitude Q0, the temperature-dependent heat conductivity λ and
the temperature-dependent yield stress σys is given.

3.1. Step 1: Process simulation

3.1.1. Thermal FE analysis

As stated, the thermal analysis was manually calibrated so that good
agreement between measurements and thermal FE analysis results was achieved.
Figure 7a presents a comparison of the thermo couple measurements and the
simulation results for the nodes at the corresponding positions. Figure 7b
presents a comparison of the measured and numerically predicted peak tem-
peratures Tmax during the thermo cycle as a function of the x-position. As
shown, excellent agreement was achieved with the calibrated heat source
amplitude Q0 = 26 W/mm3.
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To obtain an estimate of the sensitivity of the prediction results on the
performed calibration, the variation of the results attributable to a relative
change of the key calibration parameter Q0 = 26 W/mm3 in the range of
±4 % is indicated in Fig. 7b as a light-grey hatched area. As shown, this
variation of Q0 leads to a moderate shift in the predicted peak temperatures
in the middle of the HZ of approximately ±12 ◦C, what is in the same range
as the observed scatter of the measured peak temperatures shown as open
symbols in Fig. 7b. The same variation in the peak temperature in the HZ
and HAZ can be found for a relative change of the thermal conductivity λ in
the range of ±5 % at constant Q0 = 26 W/mm3.

The comparison with the thermo couple measurements shows that the
global heat input, the thermal conduction and heat exchange with the envi-
ronment of the experiment were matched very well by the thermal simulation.
However, to obtain reasonable residual stress predictions, the very localised
heat input in the heating zone also needs to match the experiment. There-
fore, the local heat input for welding simulations is normally calibrated on the
basis of the lateral extension of the molten and heat-affected zone, which can
be measured directly in optical macro graphs. Because no melting occurred
during laser heating, that approach was not possible for the calibration of
the laser heating simulation.

However, Fig. 8 shows an overlay of the micro hardness measurement re-
sults [1] (HV colour plot) and selected isothermal contours of the numerically
predicted peak temperatures Tmax. Comparing those two quantities seems
reasonable because the reduction in hardness is a direct consequence of the
changes in the micro structure attributable to the heating cycles [37, 38, 49–
51]. The zones with different hardness match the Tmax contours well, indi-
cating that the local heat input into the specimen was also described well by
the calibrated thermal model.

3.1.2. Mechanical FE analysis

Figure 9 and Fig. 10 show a comparison of the measured and predicted
residual stress differences ∆σ = σyy − σxx. As shown in Fig. 9, the general
pattern is the same for measurements and simulations. The calculated line
scans in Fig. 10 reveal that the mechanical simulation based on the calibrated
thermal model (Q0 = 26 W/mm3) delivers a reasonable prediction for the
residual stresses, even though higher values are predicted especially in the
HZ compared with the measurements.

In addition to the stress differences ∆σ, the numerically predicted longi-
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Figure 7: Comparison of the thermocouple measurements (LH-EXP) and the results of the
thermal FE analysis (LH-FEM) (a) measured and simulated transient temperatures and
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tudinal stresses σyy (dashed) and transverse stresses σxx (dotted) are shown.
The amplitude of the transverse stresses σxx is small compared with that of
the longitudinal stresses σyy. Therefore, the stress difference ∆σ is domi-
nated by the contribution of σyy, and both ∆σ as well as σyy have a change
from negative to positive values at x = 49 mm.

Shown as hatched light-grey area in Fig. 10 is the variation of the pre-
dicted ∆σ attributable to a relative variation of Q0 in the range of ±4 %, λ
in the range of ±5 % or σys in the range of ±15 %, respectively. A variation
in the mentioned ranges leads to changes of ∆σ up to ±15 MPa in the HZ,
whereas the changes in the BM area are only in the range of ±3 MPa.

Based on this sensitivity study it can be stated that already small changes
of the process temperature fields (see hatched light-grey area in Fig. 7b) can
explain large changes of the tensile residual stress peak in the HZ (see hatched
light-grey area in Fig. 10). Or in other words, the observed large differences
between predicted and measured ∆σ in the HZ can be explained by a small,
relative variation of the process peak temperatures that is laying in the same
range as the observed experimental scatter from the thermocouple measure-
ments.

Alternatively, also an difference between the temperature-dependent σys
of AA2198-T8 and the used literature values of AA2024-T3 in the range of
±15 % would explain the noted differences between predicted and measured
∆σ.
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However, another aspect to account for is the missing statistics in the
residual stress measurement results. Unfortunately, because of the large ex-
perimental effort associated with the synchrotron diffraction experiments it
was only possible to conduct measurements on one specimen. Hence, the seen
differences in predicted and measured residuals stresses should not be over-
rated. For clarification and to improve the reliability of the residual stress
measurement results, performing measurements on more specimens and with
a combination of different measurement methods should be considered for
future work.

3.2. Step 2: Extraction of Ktot

The results of the extraction of Ktot(a) are shown in the upper graph
of Fig. 11 for a model without residual stresses (BM-FEM) as well as for
the mapped results from the process simulation of the laser heating process
(LH-FEM). In this graph, the upper two curves represent the values for the
maximum applied load, and the lower two curves represent the values for the
minimum applied load.

For a < 49 mm, the crack tip is situated in the area of compressive
longitudinal stresses σyy for the simulation with laser heating. Hence, Ktot

is reduced in comparison with the simulations for the base material. Under
minimum applied load, the crack faces remain completely closed, as indicated
by Ktot = 0 MPa

√
m.

After the crack tip enters the area of tensile longitudinal residual stresses
σyy for a > 49 mm, Ktot begins to increase for both minimum and maximum
applied loads, exceeding the corresponding values from the simulations for
the base material.

Again, the small variation in the prediction results for a relative variation
of Q0 in the range of ±4 %, λ in the range of ±5 % or σys in the range of
±15 % is shown.

3.3. Step 3: Calculation of the fatigue crack growth rate da/dN

As shown in the lower two graphs of Fig. 11, ∆ Ktot (see Eq. (8)) and
Rtot (see Eq. (9)) were calculated on the basis of the extracted Ktot. The
modulation of Ktot caused by the residual stresses reduced ∆ Ktot in com-
parison with the base material for all crack lengths. Rtot became zero when
the crack tip was in the area of compressive σyy and increased to a value of
nearly 0.5 in the area of high tensile stresses σyy (HZ).
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Figure 9: Comparison of the (a) measured and (b) predicted residual stress differences
∆σ = σyy − σxx. The numerical results have been averaged through the specimen
thickness to allow direct comparison with the measured results.
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(σxx) lines.The hatched light-grey area indicates the variation of the predicted ∆σ for a
relative variation of Q0 in the range of ±4 %, λ in the range of ±5 % or σys in the range
of ±15 %.

The calculated ∆Ktot and Rtot were used in the Walker Equation (see
Eq. (10)), with the material constants for AA2198-T8 given in section 2.3,
to predict the fatigue crack growth rates da/dN . A comparison of the pre-
diction results with the measured crack growth rates from the base material
specimens (BM-EXP) and the laser-heated specimens (LH-EXP) is given in
Fig. 12. As shown, the prediction results fit the experimental data very well.
For the base material specimens without residual stresses, this good fit is
just a graphical validation of the correct estimation of the Walker Equation
constants. The agreement of the prediction and measurement results for
the specimens with laser heating shows that the developed approach is able
to predict the impact of the induced residual stresses on the fatigue crack
growth with high accuracy.

An interesting point is that in contradiction to the general expectation
a large change of the maximum tensile residual stresses in the HZ as indi-
cated earlier by the hatched light-grey area in Fig. 10, does only lead to
comparatively small changes of the fatigue crack growth rate in the HZ as
indicated by the hatched light-grey area in Fig. 12. This is due to the fact
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Figure 11: Extracted total stress intensity factor Ktot, total stress intensity factor range
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the variation of the prediction results for a relative variation of Q0 in the range of ±4 %,
λ in the range of ±5 % or σys in the range of ±15 %.
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that the tensile residual stresses in the HZ influence mainly Rtot as seen in
lower graph of Fig. 11. Compared to ∆Ktot the influence of Rtot on the crack
growth rates is rather small.

The crack length a as a function of the number of cycles was then calcu-
lated as defined in Eq. (11) and also compared with the measurement results
as shown in Fig. 13. Here, also a very good agreement between prediction
and measurement results was found.

Even though the predicted fatigue crack growth rate in Fig. 12 varies only
slightly with the variation of Q0, λ or σys, this variation has a substantial im-
pact on the predicted crack growth length a(N) as indicated by the hatched
area in Fig. 13. This effect is caused by the accumulation of the small but sys-
tematic prediction uncertainty in da/dN during the numerical integration.
The substantial impact of even slight changes of the process simulation re-
sults on the predicted fatigue crack growth highlights that special care needs
be taken to avoid making predictions that are not sufficiently conservative.
From this point of view the grey hatched area marked in Fig. 13 can be in-
terpreted as confidence region for the prediction results, since the variation
width for the thermal process simulation calibration was derived from the
experimentally observed scatter of the thermocouple measurements.

23



0 ⋅105 1 ⋅105 2 ⋅105 3 ⋅105 4 ⋅105 5 ⋅105

N

25

30

35

40

45

50

55

60

a
[m
m
]

HZ

HAZ

BM

BM-EXP

BM-FEM

LH-EXP

LH-FEM

Figure 13: Experimentally measured and predicted crack length a as a function of the load-
ing cycles N for the base material specimens and the laser-heated specimens. The hatched
light-grey area indicates the variation of the prediction results for a relative variation of
Q0 in the range of ±4 %, λ in the range of ±5 % or σys in the range of ±15 %.

4. Conclusions

An extended approach has been presented using numerical process sim-
ulation in conjunction with numerical extraction of stress intensity factors
to predict the fatigue crack growth for specimens containing heating-induced
residual stresses. The approach has been developed and validated stepwise
for the case of AA2198-T8 specimens containing a line of laser heating.

For each step of the validation, good agreement with the measurement
results was found. The sensitivity of the prediction results on the calibra-
tion of the thermal process simulation analysis and on the used temperature
dependent material properties was investigated. Even though the impact on
the induced peak temperatures, residual stresses and crack growth rates was
comparatively small, a substantial impact on the predicted crack length as a
function of the loading cycles was found because here slight deviations inte-
grate over the lifetime. Hence, it can be concluded that the predicted lifetimes
are highly sensitive to results of the numerical process simulation, and thus,
special care needs to be taken to avoid the possibility of non-conservative
prediction results.

The predicted and measured crack growth rates also matched well for
the areas that were found to have a changed micro structure (HZ, HAZ) in
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the experimental examinations [1]. The predictions did not account for the
effects of a changed micro structure on the mechanical properties, which is an
indication that the observed retardation effect is mainly induced by residual
stresses, and the effects of the changed micro structure are negligible.

It was demonstrated that the proposed approach is capable of predict-
ing with very high accuracy the fatigue crack retardation attributable to
laser heating. In future the developed prediction approach can be used for
the optimisation of different design parameters, e.g., the line positioning on
the specimens via simulations, before beginning broad experimental studies
based on trial and error. Especially regarding the application of laser heat-
ing on larger specimens or structures, this can be expected to substantially
decrease the experimental effort.

Besides, the proposed modelling strategy can be easily adopted for other
processes aiming to retard fatigue crack growth by the introduction of com-
pressive residual stresses such as cold expansion or laser shock peening, which
can be accomplished by substituting the welding process simulation used in
this study with other numerical simulations that deliver a full stress field for
the corresponding process.
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